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of a DAB-based Single-stage DC to Single-Phase
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Abstract—A dual active bridge (DAB) based single-stage single-
phase AC-DC bidirectional converter is a promising candidate for
many applications, including on-board and off-board chargers
of electric vehicle (EV) batteries. This article presents one
modulation strategy and a design of this converter to minimize
the conduction loss. An existing RMS current-minimized DC-
DC DAB modulation strategy is extended for this converter
operating at a fixed switching frequency. This strategy can
synthesize sinusoidal low-frequency harmonic-free grid current
at any desired power factor. This paper derives analytical closed-
form expressions for two critical design parameters: the value of
the series inductance and the turns ratio of the transformer that
minimizes total conduction loss at a given operating condition.
This assumes knowledge of the devices’ on-state resistance and
the magnetics’ ac resistances. If all these resistances are not
known apriori, the paper proposes a range of design parameters
to start and minimize the bridge conduction loss. The analytical
treatment greatly simplifies numerical search-based design tech-
niques by reducing the coding effort and computation time. As
a next step, the paper finds out the worst-case operating point
considering the wide operating range of an EV charger (constant-
current or constant-voltage charging and grid voltage variation).
The optimal values of the design parameters are obtained at this
point. The adapted modulation strategy results in zero-current-
switching (ZCS) turn-on loss in a specific region over the line
cycle. The paper provides the analytical expressions of this ZCS
turn-on loss. It further shows that this switching loss is lower
for particular operating conditions than the extra conduction
loss that occurs to attain full-range ZVS with an additional
magnetizing inductance following an existing paper’s modulation
strategy. The proposed design is verified on a hardware prototype
at 1.2 kW with a maximum efficiency of 96.54%.

Index Terms—Dual Active Bridge (DAB), Single-phase single-
stage converter, RMS current minimization, EV charger

I. INTRODUCTION

Isolated Single-Phase AC-to-DC for EV charger

Battery electric vehicles (BEVs) and plug-in hybrid electric
vehicles (PHEVs) are gaining popularity nowadays as they are
environmentally friendly and sustainable alternatives to tradi-
tional internal combustion engine-based vehicles. Single-phase
AC to DC converters are used as the onboard or off-board
chargers for charging the batteries of these vehicles. These
converters should have galvanic isolation and bidirectional
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power flow capability (in case of vehicle-to-grid operation).
The conventional approach offers two-stage architecture: a
non-isolated power-factor-corrected (PFC) rectifier followed
by an isolated bidirectional DC-DC converter, [1], [2]. Multi-
ple stages of power conversion lead to reduced efficiency. AC-
DC converter is hard-switched. Moreover, a large electrolytic
capacitor is required on the intermediate DC link, which
reduces the reliability and power density, [3]. Several single-
stage power conversion topologies have been proposed in the
literature [4]–[8] to address these issues.

DAB-Based DC-to-DC Converter

A dual active bridge (DAB) based converter has gained
popularity for its desirable features such as galvanic isolation,
soft switching, bidirectional power flow capability, etc. A DC-
DC DAB converter uses two H-bridges to convert DC voltages
to high-frequency square waveforms, which are applied to the
windings of a high-frequency transformer in series with an
inductance. A phase shift is introduced between the square
waves for power transfer. This strategy is known as single-
phase-shift (SPS) in literature [9]. Later, it was found that
the losses in the converter could be minimized by introducing
duty modulation on the voltage waveforms. It is known as
triple phase shift (TPS) in literature [10]. The optimal TPS
strategy of the DC-DC DAB converter has been derived in
the literature that minimizes either RMS [10], [11] or the
peak [12], [13] of the series inductor current. Although these
methods satisfy the directional constraints of zero-voltage-
switching (ZVS) transitions, the magnitude-based criteria to
charge and discharge the device output capacitances are not
satisfied. Recent developments in DC-DC DAB modulation,
[14], [15], address this issue after considering magnitude
requirements in the optimization problem.

DAB-Based Single-stage Single-phase AC-to-DC Converter

Fig. 1 shows one possible topology of a DAB-based single-
stage single-phase AC-DC converter. Fig. 2 shows the typical
line-cycle waveforms of different stages of this converter.
The AC side unfolder H-bridge (UFHB) converts the line-
frequency AC to its rectified form. The AC side H-bridge
(AHB) and the DC side H-bridge (DHB) form the dual
bridges of the DAB. The AHB converts the rectified AC
to a quasi-square wave AC whose amplitude has a line-
frequency sinusoidal envelope, and DHB converts DC to a
quasi-square wave with fixed amplitude. So, this converter
also has three degrees of modulation like the DC-DC DAB:
two duty cycles of the quasi-square waves and the phase shift
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Fig. 1: A DAB-based single-stage single-phase AC-DC con-
verter

Fig. 2: Typical line-cycle voltage and current waveforms at
different stages of AC-DC DAB topology.

between each other (TPS). Lf and Cf are the parts of the
filter circuit to prevent the high-frequency components of the
current (generated by the DAB converter) from flowing into
the AC grid. Hence, the value of Cf is much smaller than the
PFC DC-bus capacitance, and AHB’s input voltage has the
second harmonic pulsation. This paper discusses the design of
this DAB-based single-stage, single-phase AC-DC converter
for EV battery charging applications. A slight variation of
this topology is obtained after combining the functionalities of
UFHB and AHB to form a full-bridge or half-bridge solution
with four-quadrant or matrix switches, [16], [17].

Modulation Strategies of DAB-Based Single-stage AC-to-DC

The essential properties of any modulation strategy of this
converter are- 1) synthesizing the input current at any power
factor (unity power factor is desirable) without low-frequency
harmonics (THD < 5%), 2) achieving the ZVS transitions over
the entire line cycle, and 3) attaining a minimum RMS/peak
current. Compared to DC-DC DAB, satisfying directional and
magnitude-based ZVS conditions over the entire line cycle is
difficult for this converter.

The modulation techniques proposed by [18]–[21] have low-
frequency harmonics in the line current, so they are unsuitable
for grid-connected applications. Several modulation strategies
introduce switching frequency variation over the line cycle
and duty modulation of the DAB voltages to improve the
line current profile, extend the ZVS range and minimize
the current stress of the converter, [8], [22]–[25]. But due
to clamping of switching frequency to its maximum limit,
the strategies employing variable switching frequency lead to
distortions in line-current near zero crossings. To address this
issue, [26], [27] proposed fixed switching-frequency TPS (near

zero crossing) and variable switching-frequency dual-phase-
shift (DPS) control to improve soft-switching performance
and efficiency at light-load operation. A converter design that
needs to operate over a range of switching frequencies is
complicated. Moreover, the modulation methods of [26], [27]
resulted in higher current stresses in both DPS and TPS modes.

[28]–[31] proposed a fixed switching frequency-based low-
frequency harmonic free modulation techniques of the AC-
DC DAB converter of Fig. 1. Although [28], [29] meet the
directional ZVS constraints, they don’t satisfy the magnitude-
based criteria. Moreover, these techniques give higher RMS
and peak current stresses for using suboptimal DPS and TPS
modulation strategies, leading to large circulating currents and
reduced efficiency. [31] partially solves the above two prob-
lems using DPS and TPS modulation strategies in different
parts of the line cycle. DPS strategy is formulated to minimize
the peak current stress. In contrast, the modulation parameters
in the TPS strategy are decided by the magnitude-based ZVS
criteria. The change of strategy results in discontinuous TPS
parameters over the line cycle in [31], which violates the quasi-
static DC-DC assumption of the AC-DC converter. It causes
unnecessary transients that must be avoided, [8]. [30] avoided
the discontinuity in the modulation parameters with the help
of a magnetizing inductance in parallel to DHB and using
phase shift greater than π

2 . The magnitude and directional ZVS
constraints of AHB are always satisfied through modulation.
But ZVS of DHB is partially assisted by the magnetizing
inductance. This additional inductance, however, increases the
RMS currents and losses of DHB devices.

Design of DAB-Based Single-stage AC-to-DC EV Charger

Given any converter specification and the adopted mod-
ulation strategy, the maximum performance indices can be
achieved with the optimal choice of two design parameters:
transformer turns ratio (n) and the series inductance (L), [32].
[8] used n as unity. It found L along with other commutation
inductances, helping to achieve soft-switching, after minimiz-
ing the device conduction loss numerically through an iterative
process. The choice of n = 1 results in suboptimal design,
[30]. [30] proposed a design of n based on the minimization of
the aggregated sum of primary and secondary RMS currents
at five discrete points between the zero to the peak of the
input phase voltage and for five discrete loadings. Hence,
this formulation doesn’t take into account total line-cycle
RMS. The increased DHB RMS current, due to the additional
magnetizing inductance, is also not considered in the design.
With the modulation strategy adopted by [29], which causes
higher RMS current, n value is suggested such that the voltage
conversion ratio corresponding to peak phase voltage lies
within 1 and 1.25. Both [30] and [29] derived the upper limit
of L based on the maximum power transfer criteria but don’t
consider the effect of L in minimizing the objective functions.
The design, outlined in [31], finds the (n, L) pair through a
numerical search method after minimizing the total conduction
loss for a given set of specifications and resistances of AHB
and DHB sides. The numerical search method barely gives
any design insight, and the designer needs to perform the
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same exercise for every new set of converter specifications.
For example, a 48 V two-wheeler off-board charger and a 400
V four-wheeler on-board charger might have very different
specifications. Therefore, an analytical closed-from expression
of the optimal choice of n and L will be useful to a practicing
engineer.

Moreover, the voltage and current profiles of an EV charger
vary over a wide range during the constant current (CC) and
constant voltage (CV) charging, [33]. Considering the standard
grid voltage variation, ±10% (IEC-60038 standard) or ±5%
(ANSI C84.1) for grid-connected applications is also pertinent.
None of the designs stated in the literature addressed an EV
charger’s specification of wide operating conditions.

Contributions of This Article

In this context, the paper makes the following contributions.
1) As noted earlier, [10] proposed a TPS modulation strat-

egy for DC-DC DAB that minimized RMS current over a
switching cycle for the given n and L. This paper adopts
the TPS strategy of [10] and minimizes RMS current over a
switching cycle for the rectified AC-DC DAB, Fig. 1. This
automatically ensures that the RMS current over the line
cycle is minimized for given n and L. The description of the
modulation strategy is given briefly in section-II. This strategy
results in -

i) a constant switching frequency modulation;
ii) the current drawn from the AC grid is free of low-

frequency harmonics and with a programmable power
factor;

iii) the modulation parameters are continuous;
iv) directional ZVS constraints are satisfied throughout the

line cycle.
2) Analytical closed-form expressions of primary and sec-

ondary RMS currents over a line cycle as a function of n
and L are obtained for given operating conditions (AC and
DC voltages and power). This assumes the application of the
modulation strategy as described above. Given an estimate
of the resistances coming in the conduction path, the paper
presents the closed-form expressions for the optimal choice of
n and L in section-III-A. If these resistances are not known,
the paper also suggests an optimal range for these design
parameters.

3) In the rest of section-III, the paper finds the operat-
ing condition that results in maximum conduction loss after
considering the specified charging profile of an EV charger
and grid voltage variation. The optimal design of n and L
is performed at this operating point. The article also finds
other crucial design variables required for selection of different
components of the converter.

4) As the adopted modulation strategy does not satisfy the
magnitude-based ZVS constraints over a part of the line cycle,
the converter incurs mainly ZCS turn-on loss. The article
quantifies this switching loss in section-IV-A.

5) The above switching loss is avoided in [30] with the
help of an additional magnetizing inductance to achieve ZVS
over almost the entire line cycle. The introduction of this
inductance results in additional conduction loss. This paper

Fig. 3: (a) Typical waveforms in DAB converter with TPS
modulation (b) DAB Equivalent circuit

shows in section-IV-A that for certain operating conditions,
the ZCS turn-on loss incurred in this work is lesser than the
additional conduction loss incurred following the modulation
strategy of [30] with this magnetizing inductance.

6) The core loss occurred in the magnetics due to the
adopted modulation strategy and proposed conduction loss
minimized design is discussed in section-IV-B.

The analysis is validated through experiment and simulation
in section-V. The paper is finally concluded in section-VI.

II. RMS CURRENT OPTIMIZED MODULATION STRATEGY

Consider a single-stage DC-AC converter with DC voltage
Vdc, grid voltage of peak value Vpk, and line frequency f .
The instantaneous grid voltage vg(t) is given by (1), where
ω = 2πf . The topology of a single-stage DC-AC power
converter is shown in Fig.1. It consists of an unfolder H-
Bridge (UFHB) followed by the AC side (AHB) and DC side
(DHB) H-bridge of the Dual Active Bridge (DAB) conversion
stage. All the H-bridge converters have two-quadrant switches,
as shown in Fig.1. The topology shown in Fig.1 supports
bidirectional power flow at any power factor. The UFHB is
switched at line frequency f . Therefore, the rectified voltage
across u and v is given by (2).

vg(t) = Vpk sin (ωt) (1) vuv(t) = Vpk |sin (ωt)| (2)
AHB and DHB form the two H-bridges of a classical

DAB converter. DHB and AHB are modulated to generate
quasi-square waveforms, vab and vcd, respectively, at high
frequency fs = 1

Ts
(fs >> f ). The vab and vcd have half-

wave symmetry over the switching cycle Ts. The duty cycles
dp (of vab), ds (of vcd), and the phase shift δ between them
can be adjusted to control the power transfer. This strategy is
hereafter referred to as Triple-phase-shift (TPS) modulation.
Fig. 2 shows the typical line-cycle waveforms of vg , vuv , vcd,
vab and iL. The envelope of vcd matches with vuv waveform.
Typical waveforms of vab, v

′

cd and iL over a switching-cycle
with TPS modulation are shown in Fig.3a. Considering the
ideal operation of all the switching devices and assuming the
magnetizing inductance to be large, the DAB converter can be
represented by the equivalent circuit in Fig.3b.

This section briefly discusses the existing RMS current
optimized TPS modulation strategy of an AC-to-DC topology,
as shown in Fig.1, for a given set of design and operating
specifications, i.e., Vpk, Vdc, f , fs, transformer turns ratio
n (n = np : ns) and inductance L. The objective is to
exchange an average power P (which can be bidirectional) at
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a power factor cos (ϕg) between Vdc and vg . Here the power
is averaged over one cycle of AC voltage.

Consider that the converter supplies an active power of P
and reactive power Q to the grid, whose voltage is given by
(1). The average grid current over a switching cycle is given
by (3), where Ipk is the peak value of average grid current,
P = 1

2VpkIpk cosϕg and Q = 1
2VpkIpk sinϕg .

⟨ig⟩Ts
(t) = Ipk sin (ωt− ϕg) (3)

For simplifying the analysis, a per-unit system is defined
with the following base values.

Vb =
∆ Vdc, Zb =

∆ 2πfsL, Ib =
∆ Vb
Zb
, Sb =

∆ VbIb (4)

The average per-unit power transferred in a switching cycle
⟨p⟩Ts

(t) (hereafter referred to as p(t)) is given by (5), where
p̂ = 2P

Sb
and q̂ = 2Q

Sb
are the peak values of per-unit active and

reactive powers, respectively. The voltage conversion ratio per
switching cycle is given in (6).

⟨p⟩Ts
(t) =

vg(t) ⟨ig⟩Ts
(t)

Sb
= [p̂ sin (ωt)− q̂ cos (ωt)] sin (ωt)

(5)

m(t) =
nvuv
Vb

=M | sin (ωt) |; M =∆
nVpk
Vdc

(6)
For a given P and Q and a given set of design specifications,

p(t) and m(t), given in (5) and (6), vary over a line cycle.
Note that the value of p can be both positive and negative.
Under the following two assumptions,

1) With fs >> f , the values of m and p can be considered
constant in a switching cycle;

2) AC-DC operation is a quasi DC-DC operation where the
AC quantities change slowly from one switching cycle to
another in steady-state;

the AC-DC RMS current optimized modulation strategy can
be derived from that of DC-DC operation. Let, the per-unit
inductor RMS current over a switching cycle be denoted by
⟨irms⟩Ts

. Therefore, RMS current over a line cycle, ⟨irms⟩T ,
can be computed from ⟨iLrms⟩Ts

using the following integral.

⟨irms⟩2T =
1

T

∫ T

0

⟨irms⟩2Ts
dt (7)

The value of the line cycle RMS current will be minimized
if the RMS current in each switching cycle is minimized. For a
given pair of (m, p) in DC-DC DAB, it is possible to determine
a set of optimal modulation parameters (dp, ds and δ) such
that RMS of the inductor current is minimized, [10]. The RMS
current minimization problem is mathematically stated below,

min
0≤dp,ds,|δ|≤1, ZVS
p=p(m,dp,ds,δ)

⟨irms⟩Ts
(m, dp, ds, δ) (8)

where, the absolute per-unit power |p| must be less than
mπ
4 . The zero-voltage-switching (ZVS) condition refers to the

directional constraint of the inductor current at the switching
instants. Because of the quasi-static assumption, the solution
to this DC-DC optimization problem can be extended for AC-
DC operation.

The solution of the RMS current minimization problem, as
given in [10], leads to three operating modes. For |p| ∈ [0, pc1],

TABLE I: Boundary power levels

pc1 pc2

m ≤ 1
πm2(1−m)

2
(1−m2)π

2m

(
−1 + 1√

(1−m2)

)
m > 1

π(m−1)
2m

mπ
2

(
1−m2 +m

√
m2 − 1

)
TABLE II: Optimal solution: irms minimization

|p| ∈ [0, pc1)
(Mode-1) |p| ∈ [pc1, pc2) (Mode-2)

m ≤ 1

d∗p =

√
2|p|

(1−m)π
πd∗p(1− |δ∗|) = πm

(
2d∗p − d∗2p

)
− 2|p|

d∗p = md∗s d∗s = 1

|δ∗| = (1−m)d∗s |δ∗| = 1−
√

2d∗p − d∗2p − 4|p|
mπ

m > 1

d∗p = md∗s d∗p = 1

d∗s =

√
2|p|

πm(m−1)
πd∗s(1− |δ∗|) = π

m

(
2d∗s − d∗2s

)
− 2|p|

m2

|δ∗| = (m− 1)d∗s |δ∗| = 1−
√

2d∗s − d∗2s − 4|p|
mπ

the converter operates in Mode-1 with the modulation param-
eters listed in the first column of Table II. For |p| ∈ [pc1, pc2],
the operating mode is denoted by Mode-2. Here, d∗p = 1
for m ≥ 1 or d∗s = 1 for m ≤ 1. The other two
parameters in Mode-2 are obtained by solving simultaneous
equations indicated in the second column of Table II. For
|p| ∈

[
pc2,

mπ
4

]
, the converter operates with single phase shift

(SPS) strategy (d∗p = d∗s = 1), where |δ∗| = 1 −
√
1− 4|p|

mπ .
pc1, pc2 expressions are indicated in Table I. The expressions
of RMS currents as functions of the modulation parameters
for different modes of operation are listed in Table III, [34].
Note that the sign of δ∗ is the same as that of p for all three
operating regions. Fig. 4 shows the per-unit vab, v′cd, and iL
waveforms during Mode-1 and Mode-2 operations for both
m ≤ 1 and m > 1.

III. PROPOSED OPTIMAL DESIGN OF n AND L FOR UPF
OPERATION

As outlined in the previous section, the optimal modulation
strategy considers that the design parameters, .viz, n and L,
are given in the problem, and the given strategy minimizes
per-unit RMS current. But, the absolute values of the primary
and secondary RMS currents over each switching cycle depend
on these design parameters. So are valid for their line-cycle
values. The absolute line-cycle RMS values of the primary and

Fig. 4: Voltage and current waveforms in Mode-1 and Mode-2
operations.
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TABLE III: RMS current expressions in different modes of operations

⟨irms⟩2Ts
for Mode-1 ⟨irms⟩2Ts

for |p| ≥ pc1 (Mode-2 & SPS)

m ≤ 1
π2

12

(
dp

3m− 2dp
3 + 3dp

2 + 3dpds
2m

−6dpdsm+ 3dpδ2m− 2ds
3m2 + 3ds

2m2
) π2

12

(
−2dp

3 − 3dp
2δm+ 3dp

2m+ 3dp
2

+6dpδm− 6dpm− 2ds
3m2 − 3ds

2δm

m > 1
π2

12

(
−2dp

3 + 3dp
2dsm+ 3dp

2 − 6dpdsm

−2ds
3m2 + ds

3m+ 3ds
2m2 + 3dsδ2m

) +3ds
2m2 + 3ds

2m+ 6dsδm− 6dsm

−δ3m+ 3δ2m− 6δm+ 4m
)

secondary sides are denoted by Ip,rms and Is,rms, respectively,
in this paper. Therefore, a design procedure of n and L
is discussed here for battery charging application such that
the conduction loss of the DAB stage is minimum. Note
the conduction loss of UFHB is invariable to these design
parameters but depends only on the input voltage and the
output power. Therefore, the conduction loss of UFHB is not
considered below. In the following discussion, the unity power
factor (UPF) operation (P > 0 or P < 0 and Q = 0) is
considered as it is of utmost importance for most single-phase
AC-DC power conversion systems.

A. Generalized design of single-phase AC-DC DAB converter
Firstly, a generalized design methodology of single-stage

single-phase AC-DC is discussed for a given Vpk, Vdc, and
current Io. Note, P = Vdc × Io. For UPF operation, it is
possible to find the upper limit of L, which can be used without
violating the condition p(t) ≤ π

4m(t), as shown in (9).

p(t) = p̂ sin2 (ωt) ≤ π

4
m(t)

=⇒ L

(
4πfsIo
Vdc

)
sin2 (ωt) ≤ π

4
M sin (ωt) ; ∀ ωt ∈ [0, π]

L ≤ MVdc
16Iofs

(9)
From the above relation, let’s define γ as,

γ =∆ L(
16Iofs
MVdc

) = (fsL)(
16Io
MVdc

); where γ ∈ (0, 1]. (10)

Substituting L from (10) in p̂ expression, p(t) can be
expressed as function of M and γ, as follows.

p(t) =
π

4
γM sin2 (ωt) (11)

With p(t) of (11) and m(t) = M | sin (ωt) | (equation (6)),
one can apply the optimal RMS current strategy, discussed
in the previous section, for any given pair of (M,γ). And,
determine the per-unit line-cycle RMS current, ⟨irms⟩T , as
shown in (7). Note, ⟨irms⟩T will be function of M and γ,
i.e., ⟨irms⟩T = ⟨irms⟩T (M,γ). The absolute line-cycle RMS
currents, Ip,rms and Is,rms, are obtained from the per-unit
⟨irms⟩T using (12).

Ip,rms = ⟨irms⟩T Ib = ⟨irms⟩T (M,γ)
8Io
πγM

→
(

1

Io

)
Ip,rms =

8

π

⟨irms⟩T (M,γ)

Mγ︸ ︷︷ ︸
ψp(M,γ)

(12a)

Is,rms = ⟨irms⟩T nIb = ⟨irms⟩T (M,γ)
8VdcIo
πγVpk

→
(
Vpk
VdcIo

)
Is,rms =

8

π

⟨irms⟩T (M,γ)

γ
=Mψp(M,γ)

(12b)
Here, L is substituted from (10) to get Ib = 8Io

πγM . Similarly,
n in (12b) is substituted by MVdc

Vpk
. From (12), the total

conduction loss of the converter, PL,con, is derived as (13),
where rp and rs are the total resistances of the primary and
secondary sides coming in the conduction paths.

PL,con = I2p,rmsrp + I2s,rmsrs

= I2orp

1 +

(
Vdc
Vpk

)2(
rs
rp

)
︸ ︷︷ ︸

KC

M2

ψ2
p(M,γ)

(13)

For the given Vpk, Vdc, and Io, the conduction loss opti-
mized design of an AC-DC converter can be performed after
minimizing (13). Note, M is equivalent to n, (6). Similarly,
γ is equivalent to fsL, (10). Therefore, PL,con is function
of both n and L. The minimization of (13) is performed in
two steps. As the quantity within the parenthesis of (13) is
independent of γ, therefore, ψp(M,γ) is first minimized over
γ, to obtain γ = ϕ(M), as follows.

min
γ∈(0,1]

ψp(M,γ) → γ = ϕ(M) (14)

The analytical closed-form expression of ⟨irms⟩T (M,γ),
hence ψp(M,γ) of (12), is difficult to determine. Therefore,
ϕ(M) is determined numerically. Here, M is varied from 0.1
to 10 with a step size of 0.05. And, for each of these values of
M , γ is varied from 0.01 to 1 with a step size of 0.005. It is
observed that ψp(M,γ = ϕ(M)) and Mψp(M,γ = ϕ(M)),
which are same as Ip,rms and Is,rms, remain close to their
minimum values in the range 0.5 ≤ M ≤ 1.5. And one of
them increases drastically outside this range of M . Therefore,
0.5 ≤ M ≤ 1.5 is the range of any designer’s interest, and
Fig. 5 shows the ϕ(M) plot in this range. Henceforth, ϕ(M)
is approximated by a fifth order polynomials of M in the
0.5 ≤ M ≤ 1.5, as given in (15). This approximated curve
is indicated by the dashed line in Fig. 5 and is close to the
actual plot.

ϕ(M) ≈− 8.41M5 + 38.37M4 − 65.39M3 + 51.63M2

− 19.16M + 3.51
(15)
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Fig. 5: ϕ(M) as function of M for 0.5 ≤M ≤ 1.5

Fig. 6: ψ2
p(M,γ = ϕ(M)) and M2ψ2

p(M,γ = ϕ(M)) vs. M .

Substituting γ = ϕ(M) in ψp(M,γ), ψp becomes function
of only M . When this ψp(M,γ = ϕ(M)) is used in (13),
PL,con becomes a sole function of M . After that, the conduc-
tion loss optimized M , denoted by M∗, and its corresponding
γ, denoted by γ∗, are obtained after minimizing PL,con w.r.t.
M , as follows.

min
M

PL,con(M) →M∗; γ∗ = ϕ(M∗) (16)

Note, minimization of PL,con requires the expressions of
both ψ2

p(M,γ = ϕ(M)) and M2ψ2
p(M,γ = ϕ(M)). There-

fore, these functions are approximated by two third order
polynomials of M , as given in (17), to determine the closed-
form M∗. The left and right axes of Fig. 6 plot the actual
values of these functions (solid line) and their polynomial
approximations (dotted line) for 0.5 ≤ M ≤ 1.5 range. The
approximated curves closely match to the actual plots.

ψ2
p(M,γ = ϕ(M)) ≈33.97− 73.66M + 57.13M2 − 14.89M3

(17a)

M2ψ2
p(M,γ = ϕ(M)) ≈1.17 + 5.61M − 7.77M2 + 3.63M3

(17b)
The minimization of PL,con with the above approximated

polynomials gives the closed-form M∗ expression in terms of

converter parameter, KC , as shown in (18).

M∗ =
(7.77KC − 57.13) +

√
(KC − 0.17)(248.60−KC)

3(3.63KC − 14.89)

where,KC =

(
Vdc
Vpk

)2(
rs
rp

)
(18)

This KC depends upon the converter specifications (Vpk,
Vdc) and rs, rp values. The range of KC , for which M∗ in
(18) is valid, is 0.17 ≤ KC ≤ 3.6. Any practical well-designed
converter should follow this range. This analysis clearly shows
that there can’t be a unique M∗ for all design specifications.

B. Estimation of rp and rs
The resistances, rp and rs, include MOSFET on-state resis-

tance, ESR of the series inductors and the transformers. Two
cases may arise here-

1) The rp and rs values are known, as is the case in [31].
Hence, M∗ can be evaluated using (18).

2) rp and rs values are not known to a designer at the
onset of the design. As suggested by [8], one can start a
design by minimizing the bridge conduction loss, the major
loss component, after selecting the devices and considering rp
and rs to be the MOSFET on-state resistances of the primary
and secondary devices. For device selection, the RMS currents
need to be known. Therefore, a range of M , where a designer
would like to operate, and the corresponding RMS currents
are found here. Note, ψp(M,γ = ϕ(M)) and Mψp(M,γ =

ϕ(M)) are same as
(

1
Io

)
I∗p,rms and

(
Vpk

VdcIo

)
I∗s,rms, (12).

Here, ∗ denotes RMS currents minimized over γ. It can be
seen in Fig. 6 that

(
1
Io

)
I∗p,rms and

(
Vpk

VdcIo

)
I∗s,rms have the

same value at M = 1, which is 1.62. And, 0.9 ≤ M ≤ 1.26
is the range where the above two quantities will be within 1.1
times their values at M = 1 (i.e., 10% higher). Outside this
range, one of the RMS currents, either primary or secondary,
increases drastically. Therefore, 0.9 ≤ M ≤ 1.3 can be the
range of a designer’s interest to keep both the RMS currents
closer to their respective minimum values. The corresponding
primary and secondary device RMS currents are Ioψp(M)√

2
and

VdcIoMψp(M)√
2Vpk

, where ψp(M) is calculated using (17a).

C. Design for CC and CV charging

A single-point design is discussed in the previous section.
But, the voltage and current of an EV battery charger vary
over a wide range. A typical voltage and current profile during
charging of an EV battery are shown in Fig. 7a, [33], which
can be divided into two regions: constant current (CC) and
constant voltage (CV). In the CC region, the battery terminal
voltage is increased from a minimum value, typically 0.6VCV ,
to a maximum value, VCV , assisted by a constant charging
current, ICC . While in the CV region, the charging current can
go down to 0.1ICC keeping the terminal voltage fixed at VCV .
The discussion in this section determines the Ip,rms and Is,rms
for this charging profile, finds the worst-case condition, and
applies the above single point design to an appropriate point.
The maximum power processed by the charger is VCV ×ICC ,
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(a) Voltage and current profiles in CC-CV
charging

(b) Percentage change in RMS currents in CC (c) Percentage change in RMS currents in CV

Fig. 7: CC and CV battery charging profile and the corresponding change in RMS currents.

which occurs at the CC and CV region boundary. Suppose Mo

and the corresponding γo are chosen for this maximum power
point. Therefore, the designed turns ratio, and the inductance
values are given in (19).

n =
MoVdc(= VCV )

Vpk
=
MoVCV
Vpk

(19a)

fsL =
MoγoVdc(= VCV )

16Io(= ICC)
=
MoγoVCV
16ICC

(19b)

1) CC Region: Here, Vdc = τ1VCV , where τ1 ∈ [0.6, 1],
and Io = ICC . Due to Vdc variation, the operating M and γ
can be derived from (6) and (10), respectively, as follows.

M =
nVpk

Vdc(= τ1VCV )
=
Mo

τ1
; (20a)

γ = fsL
16Io(= ICC)

M(= Mo

τ1
)Vdc(= τ1VCV )

= fsL
16ICC
MoVCV

= γo

(20b)

Subsequently, Ip,rms and Is,rms can be determined using
(12) and the derivations are given in (21).

1

Io(= ICC)
Ip,rms = ψp

(
M =

Mo

τ1
, γ = γo

)
=⇒(

1

ICC

)
Ip,rms = ψp

(
M =

Mo

τ1
, γ = γo

) (21a)

Vpk
Vdc(= τ1VCV )Io(= ICC)

Is,rms =
Mo

τ1
ψp

(
M =

Mo

τ1
, γ = γo

)
=⇒

(
Vpk

VCV ICC

)
Is,rms =Moψp

(
M =

Mo

τ1
, γ = γo

)
(21b)

The scaling factors of Ip,rms and Is,rms in (21) are constant
and don’t change with operating voltage and current. The
right-hand sides of these equations show that Ip,rms and Is,rms
experience the same percentage change due to a change in ψp.
Therefore, this percentage change in RMS value is quantified
by erms,CC in (22).

erms,CC =

(
ψp

(
M = Mo

τ1
, γ = γo

)
− ψp (Mo, γo)

)
× 100

ψp (Mo, γo)
(22)

2) CV Region: Here, Vdc = VCV , and Io = τ2ICC , where
τ2 ∈ [0.1, 1]. Following the similar steps, as (20), M and γ
are derived and given in (23). And, the expressions to evaluate
Ip,rms and Is,rms are given in (24a).

M =
nVpk

Vdc(= VCV )
=Mo; (23a)

γ = fsL
16Io(= τ2ICC)

M(=Mo)Vdc(= VCV )
= τ2γo (23b)

(
1

ICC

)
Ip,rms = τ2ψp (M =Mo, γ = τ2γo) (24a)

(
Vpk

VCV ICC

)
Is,rms =Moτ2ψp (M =Mo, γ = τ2γo) (24b)

The change of RMS current in CV region, erms,CV , can
be quantified as similar to (22). Fig. 7b and 7c show the
erms,CC vs. τ1 for CC charging and erms,CV vs. τ2 for CV
charging, respectively, for five discrete choices of Mo (between
0.9 and 1.3) and its corresponding γo, i.e., γo = ϕ(Mo), (15).
In CV charging, RMS currents decrease almost linearly with
τ2 and erms values for the different Mo are close to each
other. In contrast, they differ significantly in CC charging.
As τ1 decreases from 1, a lower value of Mo (suppose, 0.9)
significantly reduces the RMS currents compared to higher
Mo (suppose, 1.3). For the exact change in τ1, the higher
choice of Mo initially decreases and then increases the RMS
currents. And, the percentage change of RMS currents is small
for higher Mo.

As erms is negative in both the plots for the feasible ranges
of τ1 and τ2, it is evident that maximum RMS currents occur
at the boundary of CC and CV region (τ1 = 1, or τ2 = 1).
Therefore, one should perform the single-point optimal design
for Vdc = VCV and Io = ICC , so that the maximum
conduction loss of the converter an be minimized. In other
words, Mo = M∗ and γo = γ∗. The same operating point
is chosen in the next subsection to determine the worst-case
RMS current due to the line regulation.
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Fig. 8: erms,GV for different choice of M∗.

TABLE IV: Design inputs for the component selection

Pri. device cur. RMS- Ip,rms√
2

, Peak- Ip,pk

Sec. device cur. RMS-nIp,rms√
2

, Peak- nIp,pk

Inductor Value-L, RMS-Ip,rms, Peak- Ip,pk
Transformer n, Pri. Volt-sec-V Sp, Pri. RMS cur.- Ip,rms

D. Effect of line regulation

This section accounts for the change in RMS currents for the
standard grid voltage variation, ±10% (IEC-60038 standard)
or ±5% (ANSI C84.1). Let n and L be chosen based on the
rated grid voltage, denoted by V rpk. Therefore,

n =
M∗VCV
V rpk

, fsL =
M∗γ∗VCV
16ICC

Due to grid voltage variation, suppose, Vpk = τ3V
r
pk.

Therefore, M and γ are obtained as (25). The primary and
secondary RMS current expressions are given in (26).

M =
nVpk(= τ3V

r
pk)

VCV
= τ3M

∗; γ = γ∗ (25)

(
1

ICC

)
Ip,rms = ψp (M = τ3M

∗, γ = γ∗) (26a)

Vpk(= τ3V
r
pk)

VCV ICC
Is,rms = τ3M

∗ψp (M = τ3M
∗, γ = γ∗)(

V rpk
VCV ICC

)
Is,rms =M∗ψp (M = τ3M

∗, γ = γ∗)

(26b)
Note, the scaling factor of Is,rms in (26b) involves V rpk,

therefore, doesn’t change with grid variation. Fig. 8 shows the
percentage change in RMS current, erms,GV , as a function
of M∗ (and its corresponding γ∗) for ±5% and ±10% grid
variations. As erms,GV is positive for τ3 < 1, so the reduction
in grid voltage causes more RMS currents than the rated. This
percentage change in RMS current is high for a lower choice
of M∗.

E. Design summary

Fig. 9 shows the steps of finding n, L and other important
design parameters, required for component selection, of a

Fig. 9: A design algorithm to choose n and fsL.

conduction loss-optimized single-stage single-phase AC-to-
DC DAB-based EV charger. The input to this algorithm is
the charging profile and the maximum and minimum values
of the peak value of the grid voltage, denoted by Vpk(max)
and Vpk(min), respectively. As the boundary of CC-CV and
the minimum grid voltage peak result into worst-case RMS
current, the optimal design is performed here. Except n, L, and
RMS currents, two more crucial design inputs for component
selection are inductor peak current and the transformer volt-
sec product. The inductor peak current varies over the line
cycle and its value becomes maximum at a certain ωt, which
is denoted by Ip,pk. (27) gives the approximated polynomial
expression of Ip,pk as a function of M∗. Similarly, the primary
volt-second product, V Sp, required for transformer design,
also varies over the line-cycle and its maximum value is given
as function of M∗ in (28).

Ip,pk
Io︸ ︷︷ ︸

f1(M∗)

=


9.62M∗2 − 22.36M∗ + 15.66; M∗ ∈ [0.5, 1.08]

10.94M∗3 − 47.39M∗2 + 68.82M∗ − 30.08;

M∗ ∈ (1.08, 1.5]

(27)

fsV Sp
Vdc︸ ︷︷ ︸

f2(M∗)

=


M∗

2
; M∗ ∈ [0.5, 1.06]

0.26M∗2 − 0.57M∗ + 0.84; M∗ ∈ (1.06, 1.5]

(28)
After evaluating design parameters using the algorithm of

Fig. 9, one can select different components of the converter
as shown in Table IV. Note the algorithm is independent of
fs and it provides fsL and fsV Sp as the output. Hence,
higher fs results in a smaller value and size of L with the
same RMS current. Similarly, transformer volt-sec product
goes down with higher fs, which helps to reduce the area
product, hence, size of the transformer. Therefore, fs should be
chosen as high as possible without causing excessive switching
frequency-related losses or violating thermal limits, [8].
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TABLE V: Expressions of currents at switching instants of DHB and AHB for p ≥ 0 (multiplied by 2
π )

Operating Mode i(t1) i(t4) i(t2) i(t3)

Mode-1, m ≤ 1 mdp − dp +mδ dp −mdp +mδ mds − dp dp −mds

Mode-1, m > 1 mds − dp dp −mds mds − ds + δ −mds + ds + δ

Mode-2 & SPS 2m−mdp − dp −mδ dp − dp ∗m+mδ δ − ds +mds ds + δ +mds − 2

(a) −Ip(t1) vs. ωt (b) Ip(t4) vs. ωt

(c) Is(t2) vs. ωt (d) −Is(t3) vs. ωt

Fig. 10: Currents at four switching instants of DHB and AHB for three different (M∗, γ∗) pairs.

IV. SWITCHING AND CORE LOSS ANALYSIS OF THE
PROPOSED DESIGN

A. Soft switching analysis of the proposed design

As shown in Fig. 3a, let t1 and t4 be the switching instants
of the two legs of DHB; t2 and t3 are the switching instants
of the two legs of AHB. Table V tabulates the per-unit
expressions of the steady-state currents at these four switching
instants for different modes of operation. The absolute switch-
ing instant currents of DHB and AHB sides, denoted by Ip(t)
and Is(t), respectively, can be obtained by multiplying the per-
unit current with Ib and nIb. After substituting Ib = 8Io

πγM ,
and n = MVdc

Vpk
, the absolute currents can be expressed

as functions of i(t), M and γ, as
(

1
Io

)
Ip(t) = 8

π
i(t)
Mγ ,(

Vpk

VdcIo

)
Is(t) =

8
π
i(t)
γ .

Fig. 10 shows the magnitudes of these four switching-instant
currents over half of the line-cycle for three optimal design
choices of M∗ and the corresponding γ∗ (ϕ(M∗)) values-1)
M∗ = 0.9, γ∗ = 0.64; 2)M∗ = 1.1, γ∗ = 0.5; 3)M∗ =
1.3, γ∗ = 0.57. All of the switching-instant currents satisfy
the directional constraints for ZVS. But, Ip(t1), Is(t2), and
Is(t3) remain clamped to zero for a significant part of the
line cycle. Therefore, it leads to zero-current-switching (ZCS)
transitions. The turn-off loss of the outgoing device is zero

under ZCS turn-off. But the current magnitude is insufficient
to charge and discharge the output capacitors of the devices
corresponding to the particular leg. Therefore, the incoming
device will see the ZCS turn-on loss because the stored energy
in the output capacitor will be dumped into the device. The
simplified expression of the required current magnitude for
ZVS is Co(cr)Vbus

DT , [35], where Co(cr) is the charge-equivalent
output capacitance, Vbus is the bus voltage, and DT is the
dead-time. Fig. 10 indicates these magnitudes for both AHB
(varying bus voltage) and DHB by the dotted black curves
for SCT3060AL device with Co(cr) = 311.6 pF (at 400 V),
DT = 250 ns, Vdc = 400 V, Vpk = 325 V, and output power
of 3 kW. Co(cr) of the device is calculated after approximating
the Coss − VDS data-sheet curve by the expression given in
[36] and using the method described in [37].

To quantify the ZCS turn-on switching loss, one needs to
know the angle, denoted by ζ, for which the switching-instant
currents are clamped to zero. ζ can be determined by analyzing
the operating modes, as illustrated here. Fig. 11 shows pc1,
pc2 and p(t) plots over ωt ∈ [0, π] for M∗ = 1.3 and its
corresponding γ∗ = 0.57, from where it can be seen that
the converter operation transits in a sequence as Mode-1|m≤1-
Mode-2|m≤1-SPS|m≤1-SPS|m>1-Mode-2|m>1 as ωt changes
from 0 to π

2 . The same is true for other (M∗, γ∗) pairs within
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Fig. 11: Operating modes for M∗ = 1.3 and γ∗ = 0.57

TABLE VI: ZCS loss at fs = 100 kHz, Vdc = 400 V, Vpk =
325 V

(M∗, γ∗) (0.9, 0.64) (1, 0.55) (1.1, 0.5) (1.2, 0.52) (1.3, 0.57)

Loss (Watt) 1.14 1.16 1.10 0.98 0.86

0.9 ≤M∗ ≤ 1.3. In case M∗ ≤ 1, SPS|m>1 and Mode-2|m>1

regions are not obtained. Operation in ωt ∈ [π2 , π] is mirror-
symmetric with respect to ωt ∈ [0, π2 ]. As the optimal RMS
strategy in Mode-1|m≤1 gives dp = mds and δ = (1−m)ds
(cf. Table II), therefore, the switching-instant currents at t1, t2,
and t3 become zero, Table V. As the mode of operation transits
from Mode-1|m≤1 to Mode-2|m≤1, the current magnitudes
become higher than the required magnitudes for ZVS. Note
switching instant currents in Mode-2|m≤1 are smaller than
the required magnitudes for a tiny fraction of the line cycle,
which is negligible. Therefore, ζ can be determined when p(t)
crosses pc1, as,

ζ = sin−1

(
1

M∗ − 2p̂

πM∗3

)
= sin−1

(
1

M∗ − γ∗

2M∗2

)
.

(29)
For each instance of ZCS turn-on of a device, the associated

energy loss is 1
2Co(er)V

2
bus, where Co(er) is the energy-related

capacitance. Therefore, the power loss each device experiences
due to ZCS, denoted by PL,zcs, is determined from (30). As
two devices in DHB and four devices in AHB experience the
ZCS turn-on loss, therefore, the total power loss in DHB and
AHB, denoted by PLD,zcs and PLA,zcs, are given in (31) and
(32), respectively. Here, CoD(er) and CoA(er) represent Co(er)
of DHB and AHB. Note, for a given Vdc, Vpk and fs, PLD,zcs
and PLA,zcs are functions of design parameters, M∗ and γ∗,
but independent of output power. If the SCT3060AL device is
used in both AHB and DHB with Co(er) = 112.5 pF (at 400
V), then the total ZCS losses combining DHB and AHB for
five choices of (M∗, γ∗) pair at fs = 100 kHz, Vdc = 400 V,
Vpk = 325 V are tabulated in Table VI. Loss in other fs value
changes linearly. The worst-case loss is lesser than 0.04% for
a 3 kW EV charger.

PL,zcs =
2

π

∫ ζ

0

pzcs(θ)dθ; pzcs(θ) =
1

2Ts
Co(er)V

2
bus(θ)

(30)

Fig. 12: Percentage Increment of DHB RMS current with Lm.

PLD,zcs =
2ζ

π
CoD(er)V

2
dcfs (31)

PLA,zcs =
2

π
CoA(er)V

2
pk(ζ −

sin 2ζ

2
)fs (32)

This ZCS turn-on loss is avoided in the literature by
adopting different modulation techniques and introducing extra
passive circuit elements, as discussed in the Introduction of the
paper. Among the existing techniques, the proposed method
of [30] implements a fixed switching frequency modulation
technique with continuous TPS parameters. It also achieves
full range ZVS in AHB through modulation and considered
the finite value of magnetizing inductance, Lm, in parallel
to DHB to achieve the ZVS of DHB. But the introduction
of Lm increases the RMS current in DHB switches. Hence,
the conduction loss of the DHB is increased. Therefore, the
ZCS loss in the devices, as discussed in this paper, and the
extra conduction loss to satisfy the ZVS current magnitudes,
as proposed in [30], are compared below.

Based on the analysis shown in [30], the upper limit of
Lm

L is derived and given in (33), where ID,zvs is the current
magnitude required to achieve ZVS in DHB.

Lm
L

≤ 4Io
5M∗γ∗ID,zvs

− 1

2
(33)

Note, for a designed (M∗, γ∗) pair, Lm

L ratio is function
of output power or Io. The upper boundary of Lm is con-
sidered, and the proposed modulation technique of [30] is
implemented. Hence, the increment in the RMS current seen
by DHB side devices, compared to the proposed modulation
of this paper, can be calculated. Fig. 12 shows this plot
as a function of output power from 1 kW to 3.3 kW for
three different choices of (M∗, γ∗) with Vdc = 400 V and
Vpk = 325 V. The RMS current increment of the AHB is
lesser than 2% in the whole power range and for all three
(M∗, γ∗) pairs, hence not shown here.

As discussed earlier, the ZCS loss in the devices is inde-
pendent of output power but depends on fs. Similarly, the
additional conduction loss in the devices due to Lm doesn’t
depend upon fs but on output power. Fig. 13 shows curves in
P−fs plane along which the additional conduction loss in the
devices due to Lm, as proposed by [30], is equal to the ZCS
switching loss, as proposed in this paper, for three designed
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Fig. 13: Favorable region in P − fs plane comparing conduc-
tion loss with Lm and ZCS loss without Lm

(M∗, γ∗) pairs. Here, device parameters of SCT3060AL is
considered, i.e., Co(cr) = 311.6 pF, Co(er) = 112.5 pF, and
RDS(on) = 60 mΩ. For a given M∗ (and corresponding
γ∗), if one operates below the curve, this paper’s adopted
modulation and the proposed design give a lower device loss.
On the contrary, one should consider achieving ZVS with the
help of Lm, [30], to reduce the device loss if the operating
P − fs is above the curve. Note that the additional current
flowing through Lm will cause extra magnetic loss, which
is not considered. The plot in Fig. 13 clearly shows that the
combined ZCS and ZVS operation without additional Lm is
more favorable with the conventional choice of fs, which
ranges from 50 kHz to 400 kHz in the given power range
(1 to 3.3 kW).

B. Core losses in magnetics

Following the improved generalized Steinmetz equation
(iGSE) method, [38], the time-averaged core-loss per unit
volume in the magnetic core over a switching cycle, ⟨pv⟩Ts

,
is given by (34),

⟨pv⟩Ts
=

1

Ts

∫ Ts

0

Ki

∣∣∣∣dBdt
∣∣∣∣α (∆B)β−αdt (34)

where,

Ki =
k

(2π)α−1
∫ 2π

0
|cos θ|α 2β−αdθ

Here, k, α, and β are the core material constants obtained
from the magnetization curve fitting, [38]. B is magnetic flux
density, ∆B is the peak-to-peak flux density.

1) Transformer core loss over Ts:
∣∣dB
dt

∣∣ over Ts in the
transformer core can be determined from the voltage applied
in the primary side of the transformer, v′cd, Fig. 1, following
(35). v′cd, and hence

∣∣dB
dt

∣∣, is a piece-wise constant function,
Fig. 3. Here, np is the primary number of turns, and Ac,Tr is
the transformer core area. ∆B can also be determined from
(35) and is provided in (36) for v′cd shown in Fig. 3.

v′cd = npAc,Tr
dB

dt
. (35)

TABLE VII: Per-unit ∆iL expressions

∆iL

m < 1 π (dp −mdp +mδ)

m ≥ 1 π (δ − ds +mds)

∆B =

∫ t3

t2

dB =
1

npAc,Tr

∫ t3

t2

v′cd(t)dt =
Vdcmds

2npAc,Trfs
(36)

If ∆Bmax is the maximum allowable ∆B for a core,
npAc,Tr product will be equal to V Sp

∆Bmax
= Vdcf2(M

∗)
∆Bmaxfs

, where
V Sp is the maximum volt-sec product as given in (28). Using
this expression of npAc,Tr in (35), (36) and substituting

∣∣dB
dt

∣∣
and ∆B in (34), ⟨pv⟩Ts

of the transformer core, denoted by〈
pv,Tr

〉
Ts

, can be determined as (37).

〈
pv,Tr

〉
Ts

=
Ki

2β−α

(
∆Bmax
f2(M∗)

)β
fαs m

α(ds)
β−α+1 (37)

2) Inductor core loss over Ts: ∆B and
∣∣dB
dt

∣∣ seen by L of
Fig. 1 can be determined from (38a) and (38b), respectively.
NL and Ac,L are the number of turns and the core area in
the inductor. ∆iL is the peak-to-peak current over Ts and its
expression, per-unitized w.r.t. Ib, (4), in different operating
modes is given in Table VII. Note, |vab − v′cd| and hence

∣∣dB
dt

∣∣,
are piece-wise constant function, as shown in Fig. 3.

NLAc,L∆B = L∆iL
(38a)

NLAc,L

∣∣∣∣dBdt
∣∣∣∣ = |vab − v′cd|

(38b)
If Bmax is the maximum allowable B in the inductor core,

NLAc,L product will be equal to LIp,pk
Bmax

= LIof1(M
∗)

Bmax
, where

Ip,pk is the maximum of the peak inductor current over the
full line cycle as given in (27). With the optimal design,
LIo = M∗γ∗Vdc

16fs
, (10), and γ∗ = ϕ(M∗), (16). Using these

relations, ∆B and
∣∣dB
dt

∣∣ are substituted from (38a) and (38b),
respectively, in (34) to obtain ⟨pv⟩Ts

of inductor, denoted
by
〈
pv,L

〉
Ts

, as (39). Here, ∆iL and |vab − v′cd| should be
expressed in per-unit.

〈
pv,L

〉
Ts

=

(
Ki8

β2α

πβ−α

)(
Bmax

M∗ϕ(M∗)f1(M∗)

)β
fαs (∆iL)

β−α(
1

Ts

∫ Ts

0

|vab − v′cd|
α
dt

)
(39)

3) Core losses over line-cycle: Note that m and ds of (37),
and ∆iL and |vab − v′cd| of (39) change from one switching
cycle to another. Therefore, the time-averaged line-cycle total
core loss per unit volume of the transformer,

〈
P v,Tr

〉
T

, and
inductor,

〈
P v,L

〉
T

, are obtained after integrating the switching
cycle loss over the line-cycle, as (40).

〈
P v,Tr/L

〉
T
=

1

T

∫ T

0

〈
pv,Tr/L

〉
Ts

(t)dt; (40)

In the experimental set-up, the E64/18/50 DMR44 core and
0R45530EC core from ‘Magnetics’ are used in the transformer
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TABLE VIII: Core parameters of transformer and inductor

k α β Ki

Transformer 12.56 1.237 2.585 0.854

Inductor 0.389 1.585 2.737 0.017

Fig. 14:
〈
P v,Tr

〉
T

as function of M∗

and inductor, respectively. The loss parameters of these cores
are given in Table VIII, where the following units are used-
loss density in W/m3, flux-density in T, and frequency in Hz.

Using these parameters and considering Bmax = 0.2T,
∆Bmax = 0.4T, Fig. 14 and 15 show the line-cycle losses
as a function of design variable M∗ in the transformer and
inductor, respectively, for three distinct switching frequencies,
i.e., 50 kHz, 100 kHz, and 150 kHz. Both

〈
P v,Tr

〉
T

and〈
P v,L

〉
T

are proportional to fαs . For a given fs,
〈
P v,Tr

〉
T

first monotonically decreases as M∗ increases in the range
M∗ ∈ [0.5, 1.06] and then becomes almost constant for the
range 1.06 < M∗ ≤ 1.5. Whereas,

〈
P v,L

〉
T

first increases
with M∗ in the range 0.5 ≤ M∗ ≤ 1.08 and then decreases
in the range 1.08 < M∗ ≤ 1.5.

V. EXPERIMENTAL AND SIMULATION RESULTS

A laboratory prototype AC-DC converter is built with the
specifications in Table IX to validate the modulation strategy
and proposed design. The n value is chosen as 1.6 so that
M∗ = 1.3. The corresponding γ∗ = 0.57, which gives
fsL = 6.06, (10). For fs = 75 kHz, L = 80 µH. The
inductance value used for the experiment is 75 µH, which
is close to the optimal L. The values of filter inductor and
capacitor, Lf and Cf of Fig. 1, are 12 µH and 10 µF,

Fig. 15:
〈
P v,L

〉
T

as function of M∗

TABLE IX: Hardware Specifications and n and L values

Vpk VCV ICC f fs n L C

325 V 400 V 3 A 50 Hz 75 kHz 1.6 75 µH 360 µF

Fig. 16: Experimental Setup

respectively. In the experimental setup, SiC MOSFETs with
a voltage rating of 650 V (SCT3060AL) are used in the
unfolder, AC side, and DC side H-bridges. To restrict the
second-harmonic voltage ripple within x% of Vdc during UPF
operation, the output capacitance, C, should be higher than
100ICC

4πxVCV f
. For x = 3 and the given specifications in Table IX,

C > 331 µF. Hence, 360 µF is used in the experimental setup.
Zynq 7010 system-on-chip (SoC) based controller generates
the modulation signals. The experimental setup is shown
in Fig. 16. MATLAB® Simulink is used to simulate the
converter operation. A dead-time of 250 ns is incorporated
between complementary switch pairs in both experiment and
simulation. The resistances of different components of the
converter, contributing to the conduction loss of the converter,
and their corresponding test conditions are provided in Table
X. As the unfolder H-bridge, AC, and DC side H-bridges use
the same devices, only one rDS,(on) is mentioned. rTr, rL,
and rLf

are the resistances of transformer referred to primary,
L, and Lf , respectively.

Fig. 17a and 17d show the experimental and simulated
waveforms of sinusoidal vg and ig , respectively, at UPF
operation. The spectra of both experimental and simulated
ig waveforms are indicated in Fig. 17b and 17e, where the
fundamental RMS of the grid current is nearly 5.2 A. A small
amount of third, fifth, and seventh harmonic components are
present in both experimental and simulated ig waveforms.
The magnitudes of these components in the experimental
ig waveform are 0.09A, 0.12A, and 0.08A, respectively.
The same in simulated ig waveform are 0.08A, 0.08A,
and 0.06A, respectively. Dead-time between complementary
switches seems to cause these harmonics, which, otherwise,
are not there in simulated ig when implemented with ideal
switches without incorporating dead-time. The THDs of the
waveforms are close to 3% in both simulation and experiment,

TABLE X: Resistances of different components

rDS,(on)

@ 100◦ C
rTr

@ 75 kHz
rL

@ 75 kHz
rLf

@ 50Hz

70mΩ 162mΩ 272mΩ 6mΩ
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(a) Experimental vg(t) and ig(t)

0 0.5 1 1.5 2 2.5
0

2

4

6

(b) Spectrum of experimental ig(t) (c) Power Boundaries and p(t) (experimental)

(d) Simulated vg(t) and ig(t) (e) Spectrum of simulated ig(t) (f) Power Boundaries and p(t) (simulated)

(g) TPS parameters with optimal irms strategy (h) Experimental vg and ig at 0.9 lagging PF (i) Simulated vg and ig at 0.9 lagging PF

(j) Experimental vab, vcd, iL, vuv over line-cycle (k) vab, vcd and iL at peak of vg(t) (l) vab, vcd and iL near zero crossing of vg(t)

(m) Simulated vab, vcd, iL, vuv over line-cycle (n) Simulated vab, vcd and iL at peak of vg(t) (o) Simulated vab, vcd and iL near zero crossing of
vg(t)

Fig. 17: Experimental and simulation results of the AC-DC converter with M = 1.3 and γ close to 0.57.
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Fig. 18: Switching transition of DHB leg near ωt = 90◦.

which is within the grid specifications (up to 5%).
Fig. 17c and 17f show the power boundaries (pc1(t), pc2(t))

and p(t) obtained from experiment and simulation over a line-
cycle. These power boundaries and p(t) waveforms match the
analytical plots in Fig. 11 for M∗ = 1.3. Hence, the converter
will undergo the operating modes Mode-1|m≤1-Mode-2|m≤1-
SPS|m≤1-SPS|m>1-Mode-2|m>1 in sequence, as described
earlier. The optimal modulation parameters corresponding to
this operation, computed by the controller in real-time, are
also shown in Fig. 17g. The internal signals of the controller
shown in Fig. 17c and 17g are taken as DAC (digital-analog
converter) outputs. As explained before with the help of Fig.
11, the AC-to-DC DAB converter experiences ZVS and ZCS
transitions in certain regions over the line-cycle. These regions
are indicated in Fig. 17c, 17f and 17g. All the TPS parameters
change at the beginning (near ωt = 0) as the converter operates
in Mode-1|m≤1 in Fig. 17g. When the converter enters Mode-
2|m≤1 region, ds remains clamped to unity, but dp increases.
There is a small region of SPS operation where dp = 1 = ds.
Finally, the converter operation transits to Mode-2|m>1 where
dp remains clamped to unity. The operation in the rest of the
line cycle can be derived from the operation for 0 ≤ ωt ≤ π

2 .
It verifies the optimal modulation strategy to minimize the
RMS current, as given in Table II. Note the TPS modulation
parameters are continuous over the line cycle.

The non-UPF operation is also performed and verified
through experimental and simulated waveforms of Fig. 17h
and 17i, respectively. Here, ig lags vg at a power factor of
0.9. Non-UPF operation involves instantaneous power to be
both positive and negative. Hence, the bidirectional power
flow capability of the converter is also verified. The line-
cycle variations of vab, vcd, iL, and vuv are shown in Fig. 17j
(experimental) and 17m (simulated). These waveforms match
the theoretical waveforms in Fig. 2.

Fig. 17k and 17l show the experimental switching cycle
waveforms of AHB and DHB converters during the peak and
the zero crossing of vg(t), respectively. Similar waveforms are
obtained in simulation, shown in Fig. 17n and 17o. At the peak
of vg(t) (ωt = π

2 ), the DHB operates with dp = 1 (as vab is
square waveform), whereas vcd is a quasi-square waveform as
the duty modulation occurs in AHB. Near zero crossing of
vg (ωt = 0), the AC and DC side bridges operate with duty
modulation. Therefore, operation in these two points conforms
with the optimal modulation strategy as indicated in row-1 and
column-1 (R1, C1) (near zero crossing) and (R2, C2) (at peak)
of Table II.

The switching transitions of the DHB leg consisting of

Fig. 19: Switching transition of DHB leg near ωt = 5◦.

Fig. 20: Comparison of experimental efficiency of two designs.

switch S1 and S2 of Fig. 1, whose switching-instant current
over half of the line-cycle is shown in Fig. 10a, is verified
here. Let’s consider that C1 and C2 are the output capacitances
of these switches, and the voltages across them are denoted
by vC1 and vC2, respectively. Fig. 18 shows the experimental
waveform to verify that the ZVS occurs at ωt = π

2 (t1 marked
in Fig. 17k). Switch S2 is turned off during this switching
event, and S1 is turned on after dead time. The leg current
is less than zero at this instant. Thus, the switch S2 was
conducting before its turn-off. At t = tA in Fig. 18, the gate
pulse of S2 is turned-off. The gate voltage goes below the
threshold, implying that the channel current is zero before vC2

increases at t = tB . This results in the ZVS turn-off of S2.
The pole current now charges and discharges the capacitors
C2 and C1, respectively. At t = tC , the voltage vC1 reduces
to zero, and the body diode of S1 starts to conduct. The turn-
on of S1 at t = tD happens when the voltage across it is zero.
Hence, S1 attains the ZVS turn-on. Fig. 19 shows a similar
transition for ωt = 5◦, where the switching instant current is
zero. S2 experiences ZVS turn-off as vC2 remains clamped to
zero even after gate voltage goes below the threshold value.
vC1 and vC2 start changing once the gate voltage of S1 is
applied. The stored energy in C1 is dumped into the channel
and sharp transitions in vC1 and vC2 are observed. Hence, S1

experiences ZCS turn-on, as expected.
To verify the proposed design, the converter is operated at

TABLE XI: Theoretical (T), simulation (S) and experimental
(E) currents at two design conditions at 1.2 kW and UPF

Case Primary RMS (A) Inductor Peak (A)
(T) (S) (E) (T) (S) (E)

A 9.52 9.66 9.61 22.28 22.8 23.4

B 4.22 4.25 4.8 10.3 10.6 11.4
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TABLE XII: Maximum temperature of different components

MOSFETs @
Unfolder/DHB/AHB Transformer Inductor Gate-driver

isolated supply
33.7 ◦ C/ 34 ◦ C /36 ◦ C 38.1 ◦ C 49.1 ◦ C 54.7 ◦ C

(a) Overall converter (top
view)

(b) Overall converter
(side view)

(c) Transformer

(d) Inductor (e) DHB MOSFET (f) AHB MOSFET

Fig. 21: Thermal images of different components.

another design parameter, M∗ = 0.51, and γ∗ = 0.8. For
the given Vpk, VCV , and ICC in Table IX, n = 0.625 and
fsL = 3.42 =⇒ L = 45 µH with fs = 75 kHz. So,
50 µH inductor is used in this case. This design is referred
to as Case A, and the previous design with M∗ = 1.3 is
referred to as Case B. Fig. 20 compares the efficiencies of the
converter working in the CV region for both designs. Here,
Vdc = VCV = 400 V, but Io is changed to vary the input
power from 700 W to 1235 W. It can be seen that Case B
with M∗ = 1.3 always attains higher efficiency compared
to Case A with M∗ = 0.51. The maximum efficiencies
obtained are 94.35 % (in Case A) and 96.54 % (in Case B),
respectively. And the efficiency in Case B is always higher
than 96 % in that power range. The lower efficiency of Case
A compared to Case B is due to the significantly higher
inductor RMS current of Case A compared to Case B, which
was already predicted in the analysis. Table XI compares the
theoretical (T), simulation (S), and experimental (E) values
of inductor RMS and peak currents over the line-cycle for
these two cases while operating at 1.2 kW. Fig. 21 shows
the thermal images of different components of the converter
while operating at full-load with Case-B design, and Table XII
tabulates the maximum temperatures of these components. The
converter operates without violating the thermal limits of the
components.

To show the loss breakup, let’s consider the last point of Fig.
20 with Case-B design (M∗ = 1.3), where the input power
is 1235W and the output power is 1190W, resulting a loss
of 45W or efficiency of 96.36%. The primary and secondary
RMS currents are 4.8A (cf. Table XI), n× 4.8 =7.68A and
the grid RMS current is 5.2A, as mentioned earlier. The con-
duction loss of the converter is 4.82×(2rDS,(on)+rTr+rL)+
7.682×2rDS,(on)+5.22×(2rDS,(on)+rLf

) = 25.43W, where
the resistance values are mentioned in Table X. The estimated

switching loss using (31) and (32) at 75 kHz is 0.65W. The
transformer has np = 24, Ac,Tr =5.16 cm2, and core volume
of 81.9 cm3. Therefore, the estimated core loss at M∗ = 1.3
and fs =75 kHz, as discussed in section IV-B, is 2.08W. The
core volume of the inductor is 104 cm3, and the core loss in the
inductor is 13.12W. Other miscellaneous losses, including the
losses in the high-frequency filter capacitor (Cf ) and second-
harmonic electrolytic capacitor (C), are 3.7W. With higher
fs value, for example, fs =100 kHz, the inductor core loss
increases drastically, and some of the points’ efficiency goes
below 95% in the 700 W to 1235 W range. Therefore, fs is
restricted to 75 kHz to attain an efficiency of more than 96%
in this range.

VI. CONCLUSION

This paper presents a modulation strategy and the design of
two crucial parameters of a single-stage single-phase AC-to-
DC converter to attain minimum conduction loss. An existing
triple-phase-shift (TPS) based modulation strategy, otherwise
used for DC-DC DAB, is extended for rectified AC-to-DC
DAB operation. This method minimizes the RMS current over
every switching cycle; hence, minimum RMS current over a
line cycle is also achieved for a given design. It is a fixed
switching frequency strategy that can synthesize sinusoidal
grid current at any power factor (UPF is desirable), free of
low-frequency harmonics. The modulation parameters remain
continuous over the line cycle. Based on this modulation
strategy, the paper formulates the conduction loss of the DAB
converter over the line cycle as a function of two critical
design parameters: transformer turns ratio (n) and the series in-
ductance (L). Subsequently, the conduction loss is minimized
over these two parameters for a given converter specifications;
and the analytical closed-form expressions of optimal n and
L are derived. Evaluation of these values requires knowing
the primary and secondary resistances in the conduction path,
which may not be known at the onset of design. Hence, a
range of n and L values are proposed to start with the design
process and minimize the bridge conduction loss. The article
also determines the maximum conduction loss incurs by a
grid-connected EV charger due to wide operating conditions
during a) CC-CV charging and b) grid voltage variation. It is
shown that the conduction loss is maximum at the boundary
of the CC-CV region and the minimum grid voltage condition.
Therefore, the above optimal design should be performed
at this operating point. The article also provides analytical
closed-form expressions of other design variables, .viz, 1)
RMS and peak currents seen by the devices, transformer, and
inductor, 2) volt-sec product of the transformer, as a function
of n and L. These variables are required for selecting different
components of the converter. The adopted modulation strategy
satisfies the directional ZVS constraints. But a specific portion
of the line cycle has zero-current-switching (ZCS) transitions,
leading to ZCS turn-on loss. The paper quantifies this ZCS
turn-on loss for the proposed design. This switching loss
is independent of output power. The article also shows the
operating conditions where the proposed design with ZCS
turn-on loss becomes more favorable than attaining full-range
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ZVS with an additional magnetizing inductance following one
of the existing modulation strategies. The proposed design is
validated on a hardware prototype working at 230 V, 50 Hz
AC grid, 400 V DC, and an output power of 1.2 kW with a
maximum efficiency of 96.54%.
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